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A series of indentation tests have been carried out quasi-statically on various configurations of stiffened
panels. These represent hull plates in ships subjected to grounding or collision actions. The results of the
scaled down tests are reported in the first part of this two-part companion paper. This part (II) presents
results from numerical analyses with focus on fracture prediction.
The performance of two failure criteria is investigated. These are implemented into the explicit finite
element code LS-DYNA and are referred to as the BWH instability criterion and the RTCL damage
criterion, respectively. In addition, the influence of the element size with respect to onset of failure is
studied.
Although the study is aimed towards accidental scenarios considering collision and grounding of ships,
the investigation also apply to other types of problems. This may for instance be the response of deck
structures which are hit by dropped objects, or the response of stiffened panels subjected to explosions
or ice actions.

� 2008 Elsevier Ltd. All rights reserved.
1. Introduction

Analysis of accidental response of marine structures is more and
more performed by means of the finite element method. The rapid
increase in computational power allows analysis of large and
complex problems. However, problems arise when fracture is
included. Presently, there is no practical formulation capable of
simulating both fracture initiation and propagation in large-scale
structures using shell elements, see for instance Ref. [4]. One reason
for this is that fracture most often is modeled by removing over-
strained elements. This is an engineering approach which makes FE
solutions very mesh sensitive. It also makes modeling of fracture
propagation more difficult in the sense that crack tip effects are
concentrated over very few elements.

The complexities of determining the onset of fracture were
studied in a joint university project dealing with ship collision and
grounding, see Ref. [5]. Four commonly used failure criteria were
applied in blind fold simulations of actual ship–ship collision tests.
The collision experiments were conducted by TNO (the Dutch
Institute for Applied Physical Research) and counted four large-scale
collision tests [6–8]. In total 36 simulations were carried out. Three
collision models were analyzed, each with three different element
sizes using the four fracture criteria. The numerical results were
þ47 735 95697.
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compared internally and against the tests. The study showed
a significant scatter in the predicted fracture initiation and propa-
gation force, both with respect to results acquired with different
mesh sizes and to simulations with the different failure criteria.
A lesson learned from the study is that the user’s interpretation of
the input parameters and how the mesh sensitivity effect is dealt
with is equally important as the fracture criterion itself.

Predicting the onset of fracture is especially important in struc-
tural members which resist accidental forces by membrane action.
This is often the case in ship collision and grounding scenarios. An
obstruction, e.g. the sea floor or a ship bow is typically forced into the
ship hull. Once the hull is penetrated, the resistance to further
indentation typically drops significantly, as reported by Naar et al.
[9] and Simonsen and Lauridsen [10]. Of particular concern is
penetration of the inner hull and the cargo tanks. This may have
severe consequences such as oil spill and flooding of compartments.

In this second part of the two-part article, focus is on predicting
fracture in ship collision and grounding scenarios. Two relatively
advanced fracture criteria are applied in hull penetration analyses. The
assessment is carried out by performing finite element simulations of
the quasi-static panel penetration tests presented in Part 1, see Ref. [1].
2. Theoretical aspects – fracture

In most metals alloys, fracture relates to the formation of micro-
voids which grow and eventually coalesce during deformation.
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Such voids form at inclusions or hard second phases in regions
which are highly deformed. The growth rate of these voids is
controlled by the deformation and the hydrostatic stress state
within the material micro structure. Studies on void growth within
the microstructure have, for instance, been conducted by McClin-
tock [11] and Rice and Tracey [12]. Eventually, as the voids coalesce
and form small cracks, the material reaches a state where fracture is
initiated. The importance of the hydrostatic stress state with
respect to ductile fracture is investigated further by Hancock and
Mackenzie [13], Mackenzie et al. [14] and Bao and Wierzbicki [15–
17] who also have paid attention to development of fracture in the
shear domain.

The growth of micro-structural flaws and defects is in material
modeling often associated with a damage variable D. The evolution of
the material damage _D is a way of describing the rate of void growth
and has been used extensively by several authors, e.g. Lemaitre [18],
Bonora [19], McClintock [11] and Rice and Tracey [12]. The damage
variable may either be coupled to the constitutive material equations
or used separately as a local approach to determine the onset of
fracture. Applied in a finite element code, the damage approach has
proved to be a powerful tool to predict the failure response in
deformed material. This, however, implies a detailed mesh, and for
many damage models, several material parameters.

In ship crashworthiness analysis the available material data is
usually limited. Often the classification society only sets a lower
requirement to the steel quality used in ships. Furthermore, the
sheer size of ships often results in analyses with coarsely meshed
finite element models. This is generally not compatible with
a complex damage model. More pragmatic approaches are needed.
Predicting onset of fracture based on a critical equivalent plastic
strain is a simple and much used criterion. This represents,
however, an over-simplification of fracture mechanics, since the
influence of the stress state is neglected. An excellent evaluation of
applied fracture criteria is given by Wierzbicki et al. [20]. Similarly,
Törnqvist [3] presents a summary of fracture criteria applied in
analyses of marine accidents.

Two failure criteria are applied in this article. The first one is the
so-called Rice–Tracey–Cockcroft–Latham criterion (RTCL) which is
presented in detail by Törnqvist [3] and Simonsen and Törnqvist
[4]. The second is the Bressan–Williams–Hill (BWH) instability
criterion [2]. The criteria are along with material routines imple-
mented into the LS-DYNA finite element software [21]. Both criteria
are summarized in the following sections.
2.1. The RTCL damage criterion

The RTCL damage criterion [3] is composed of the modified
Cockcroft–Latham–Oh damage criterion [22,23] and the Rice–
Tracey damage criterion [12]. Both of these are functions of the
hydrostatic stress state, expressed by the stress triaxiality
T ¼ sm=seq. Here sm is the hydrostatic stress and seq is
the equivalent stress. Damage evolution in the shear domain,
�1/3< T< 1/3, is represented by the Cockcroft–Latham–Oh
damage criterion. An interesting feature with this criterion is that
damage evolution ceases when T<�1/3. This value is referred to as
the cut-off value. It is shown by Bao and Wierzbicki [15] with basis
in upsetting tests that fracture will not occur below this value. The
Rice and Tracey damage criterion [12] is applied for stress triaxiality
levels greater than 1/3, which is often referred to as the void growth
domain. An independent evaluation of both the Cockcroft–Latham–
Oh damage criterion and the Rice–Tracey criterion is given by Bao
and Wierzbicki, see Refs. [16,17], respectively. The RTCL combina-
tion of the two damage criteria may be expressed mathematically
by the evolution rule
_D ¼

8><
>:

0 if T < �1=3
s1

seq
_3eq if � 1=3 � T < 1=3

exp
�

3T�1
2

�
_3eq otherwise

(1)

where _D describes the rate of damage, s1 is the major principal
stress and _3eq is the rate of the equivalent plastic strain. Fracture is
initiated once the accumulated damage reaches a critical level. An
important feature with this criterion is that for proportional
loading in uniaxial tension (T¼ 0.33), the damage evolution _D is
exactly matched by the rate of equivalent plastic strain _3eq. This is
convenient with respect to calibration, because the critical damage
Dcr most easily can be found from uniaxial tensile tests. From this
a normalized criterion can be expressed as

D ¼ 1
3cr

Z
_Ddt (2)

where 3cr is the critical equivalent plastic strain in uniaxial tension.
In this form, failure will appear once the damage D approaches the
value of one.

In this article, the RTCL criterion is used with shell elements.
However, void growth is in reality a three-dimensional process.
Consequently, in order to model fracture initiation in the best
possible way, through-thickness ‘‘crack growth’’ is described as
a loss of resistance and stiffness in each through-thickness inte-
gration point. The elements are removed once all thickness inte-
gration points satisfy the following condition D>Dcr. The
correctness of introducing ‘‘through-thickness cracks’’ by this
method may be discussed. After all, shells describe a plane stress
situation. Consequently, through-thickness ‘‘crack tip’’ constraints
are left out. A more detailed description and investigation of the
RTCL criterion is given by Törnqvist [3].
2.2. The BWH instability criterion

Fracture in sheet metal is often preceded by excessive plastic
flow in narrow bands, characterized as local necks. Although, the
material does not separate immediately, the event of local necking
is severe. This is because a significant weakness appears in the
material which is quickly followed by fracture.

In accidental analysis of large-scale shell structures, it may be
well worth considering the onset of local necking as a state of
failure, rather than searching for fracture after local necking has
occurred. The reasons for this are twofold. First, the evolution of the
local neck cannot be followed with coarse shell elements. This
includes the strain state as well as the stress state. In fact, Atkins
[24] has reported significant changes in material stress states once
local necking appears. Also this effect cannot be captured by large
elements. Finally, in the simplest form, the onset of instability can
be determined analytically, based on the shape of the material
stress–strain curve. This simplifies calibration and yields a prag-
matic approach which is appreciated in engineering.

The BWH criterion, [2], gives a simplified way of determining
the onset of local necking. It describes an analytical forming limit
curve in the stress space, and is therefore not limited to propor-
tional strain paths. The philosophy behind stress based forming
limit curves has been convincingly discussed by Stoughton [25,26]
and Stoughton and Zhu [27]. The BWH instability criterion
combines Hill’s local necking analysis [28], with the Bressan and
Williams [29] shear stress criterion. In its original form, Hill’s
criterion assumes that a local neck will form with an angle f to the
major principal stress direction. Within the neck, the strain incre-
ments along the narrow necking band will be zero. Consequently,
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the cross section of the neck will be subjected to plane straining.
The orientation of the local neck may be expressed as

f ¼ tan�1
� ffiffiffiffiffiffiffiffiffiffiffiffi
�1=b

q �
(3)

where b describes the degree of biaxial straining, b ¼ _32=_31, and _31
and _32 are the major and minor principal strain rates, see Fig. 1. This
yields rational results of f only for negative values of b. It is worth
noticing that there is a direct relationship between the stress
triaxiality T and b. For the plane stress condition when elastic
strains are neglected this yields

T ¼ 1ffiffiffi
3
p bþ 1ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

b2 þ bþ 1
q (4)

At the instant a local neck is formed, the effects from strain hard-
ening and the diminution in thickness balance each other exactly.
This means that the tractions within the material reach a maximum
value at the point of local necking. From these assumptions the
following condition for local necking in metal sheets may be derived

_s1
_31
¼ s1ð1þ bÞ (5)

where s1 and _s1 are the major principal stress and stress rate.
Assuming power law plasticity, and that the stress rate ratio _s2= _s1
at the point of instability equals the stress ratio s2=s1, the following
expression for Hill’s criterion emerges

s1 ¼
2Kffiffiffi

3
p

1þ 1
2bffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

b2 þ bþ 1
q

 
2ffiffiffi
3
p

~n
1þ b

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
b2 þ bþ 1

q !n

(6)

where (K, n) are power law parameters, see Eq. (13). Stoughton and
Zhu [27] have presented a similar stress based Hill formulation. The
parameter ~n also represents the power law exponent n, but is
indicated differently for practical reasons, see Section 5.1.

According to Eq. (3), Hill’s analysis is only valid for negative
values of b. In the positive regime, the Bressan–Williams shear
stress instability criterion is used. It states that the instability in
a sheet element is initiated once a critical shear stress is reached in
a direction inclined through the thickness at which the material
element experiences no change in length, see Fig. 2.
Fig. 1. Strain states in terms of b and T. All conditions refer to stress states for a plane
stress element (a) shows a pure shear state, (b) refers to uniaxial tension, (c) illustrates
plane straining, and (d) shows equi-biaxial stretching.
This assumption is in fact quite compatible with observations
made in Part 1 [1]. In all cases the test components showed inclined
failure planes through the thickness. This indicates failure in the
direction of the maximum shear stress, as suggested by Bressan and
Williams [29]. It is therefore reasonable to assume that this
through-thickness shearing instability may take place before any
visual signs of local necking. From the detailed derivations given in
Refs. [29,2], the following expression for the major principal stress
at incipient instability emerges

s1 ¼
2scrffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

1�
�

b
2þb

�2
r (7)

where scr is the critical shear stress. The Hill criterion and the
Bressan–Williams criterion predict failure simultaneously for plane
straining (b¼ 0) when

scr ¼
1ffiffiffi
3
p K

�
2ffiffiffi
3
p ~n

�n

(8)

The following expression is found, [2], by combining the Hill
criterion with the Bressan–Williams criterion

s1 ¼

2Kffiffiffi
3
p

1þ1
2bffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

b2þbþ1
q

 
2ffiffiffi
3
p

~n
1þb

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
b2þbþ1

q !n

if b� 0

2Kffiffiffi
3
p

�
2ffiffiffi
3
p ~n

�n

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1�
�

b
2þb

�2
r otherwise

8>>>>>>>><
>>>>>>>>:

(9)

Because the BWH criterion searches for local instability, it applies to
membrane stresses and strains only. The effect of bending is left
out. When applied in a finite element code, this is achieved by
checking failure only in the mid through-thickness integration
point of every shell element. Once the criterion is violated, the
element is removed and fracture is initiated. Applied in explicit
dynamic FE codes it may be useful to allow some additional
straining, say 1% additional equivalent strain, before the element is
removed. This is to avoid erosion of elements due to stress waves
and numerical noise. A more detailed description of the BWH
criterion is given in Ref. [2]

2.3. Accounting for element size sensitivity

One major problem with the finite element method is the
sensitivity to mesh sizes close to fracture. The effect is apparent in
zones with large strain gradients, e.g. close to crack tips, at struc-
tural intersections, or in post necking zones. Shell elements are
especially sensitive to this effect, due to the plane stress formula-
tion. While the through-thickness stress stabilizes solid elements
subjected to thinning, shell elements are only restrained by
neighboring elements in terms of in-plane compatibility. Conse-
quently, close to failure, shell elements are free to deform in the
thickness direction and may strain excessively in narrow bands as
no change in length

Ftraction

Ftraction

Fig. 2. Illustration of a material element with an inclined through-thickness instability
plane. Ftraction indicate element tractions.
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wide as the element itself. This effect is especially seen when small
elements are used. When large elements are applied, the problem is
rather that strain concentrations remain uncaptured. To minimize
this effect, preventive measures are needed.

If small shell elements are used, non-local methods may be
applied with success, see Ref. [30]. In this way the damage _D or
strain evolution may be controlled over element boundaries.
However, application of non-local methods only makes sense when
applied with elements smaller than the sheet thickness. This is due
to the fact that the failure mechanisms such as local necking typi-
cally take place in narrow bands as wide as the sheet thickness
itself, see Ref. [31]. On the other hand, in problems related to
collision and grounding of ships, elements with characteristic
lengths in the range of 5–15 times the sheet thickness are often
used. Obviously, such large elements are unable to detect local
instabilities in the material. Several authors have accounted for this
discrepancy by making the fracture criterion element size depen-
dent, see for instance Refs. [3,5,32]. Basically, this implies that the
failure strain or the critical damage is scaled down to a lower level
in order to simulate onset of fracture at the proper resistance level,
regardless of the element size.

An engineering correction for the element size effect in shell
elements may be derived by considering a deformed material
element, see Fig. 3. Assume that a material element strained to the
point of fracture consists of two parts. One part contains a local
neck with volume Vn, the other part, Vr, is uniformly strained. The
sum of Vn and Vr gives the total element volume Vel. Assume further
that the volume of the developed neck can be followed throughout
the process. As plastic incompressibility is assumed, Vn and Vr

remain constant during deformation. The average strain at the
point of fracture 3cr may now be found from the volume weighted
average strain distribution within the material element, see Fig. 3.
By applying the average strains 3n and 3r for the known volumes Vn

and Vr, the critical strain for the total element is given by the
following expression

3cr ¼
3rVr þ 3nVn

Vel
(10)

A similar philosophy is presented by Li et al. [33]. Through rather
rigorous derivations, element size effects have been coupled to
flaws in the material. The model is referred to as the three-piece-
cell model and shows promising results. A further alternative to the
is given by Kessler et al. [34]. It follows similar rationale to that
presented herein. However, rater than scaling the critical failure
strain, focus is placed on evolution of the equivalent strain rate, _3eq.

The present expression, Eq. (10), is only valid for shell elements
and refers to the elements initial configuration. However, with
Fig. 3. Simplified illustration of the procedure to generate the critical strain 3cr for
a shell element. The constant equivalent critical strain, 3cr, is the volume-weighted
result of an assumed element failure strain distribution. 3r and 3n indicate the average
strain values outside and inside the instability zone, respectively. F1 and F2 represent
element tractions.
application in engineering, focus is primarily on a pragmatic scaling
law which may operate in an FE code at low cost.

Only equivalent strains are assumed in the following. If the
‘‘local neck’’ forms parallel to the sides of the material element,
with an undeformed breadth equal to the initial element thickness
t, see Ref. [31], the ‘‘instability’’ volume yields Vn¼ t2le. This auto-
matically gives the volume of the remaining element,
Vr ¼ Vel � Vn ¼ tl2e � t2le, where le is the undeformed element
length. By inserting this into Eq. (10), the following critical strain
appears

3crðleÞ ¼ 3r þ ð3n � 3rÞ
t
le

(11)

This expression is similar to that presented by Lehmann and
Peschmann [7], though the basis for the derivation and input values
is different.

Calibration of failure criteria may well be done by means of
uniaxial tensile tests, as is the case with the RTCL damage criterion.
In this case, the formulation of Eq. (11) may be simplified by the
following supposition: consider an infinitely long uniaxial tensile
test component. If strained to failure, the length of the local and
diffuse necking mode will be insignificant compared to the total
specimen length. Measured from the crossheads, the specimen
would appear to fracture once diffuse necking is reached. This
indicates that Eq. (11) converges towards diffuse necking strain as
elements become infinity long, e.g. 3cr(le¼N)¼ 3r. Consequently, 3r

takes the value of the diffuse necking strain. Assuming that the
material properties can be represented by means of the power law
relationship, see Eq. (13), 3r becomes equal to the power law
exponent n. The remaining parameter, 3n describes the failure strain
when le¼ t, and can be determined from numerical reproduction of
uniaxial tensile tests. For uniaxial tension, Eq. (11), takes the
following form

3cr ¼ nþ ð3n � nÞ t
le

(12)

This relation is referred to as a ‘‘fracture scaling law’’ and may be
applied directly to calibrate the RTCL criterion Eq. (2), as well as the
equivalent strain criterion. It should, however, be mentioned that
correcting the failure level as a function of the element size can be
dangerous. It is not guaranteed that local deformation mechanisms
take part before fracture. Applying methods such as Eq. (12) should
therefore be made with caution. Another way to reduce the mesh
size sensitivity is to avoid the post-necking zone completely, as
exemplified with the BWH instability criterion [2].
3. Modeling the panel indentation tests

Five indentation experiments are described in Part 1 [1]. These
have been conducted on 5 mm thick stiffened steel plates, each
1200 mm long and 720 mm wide. The objective behind the tests
was to study the deformation response and the resistance to
indentation of the panels. The following section reports the finite
element modeling and the assumptions which are made.
Table 1
Plate–stiffener configuration.

Specimen Number of stiffeners Stiffener type

US None –
1-FB One Flat bar (FB) 120� 6 mm
1-HP One Bulb (HP) 120� 6 mm
2-FB Two Flat bar (FB) 120� 6 mm
2-HP Two Bulb (HP) 120� 6 mm



Fig. 4. Illustration of the indentation tests/simulations: (a) shows the indenter and loaded specimen, while (b) and (c) illustrate the upper and lower side of the finite element
model of 2-HP, respectively.
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3.1. Finite element models

Five indentation tests have been conducted, all with different
stiffener configurations. A short description is given in Table 1, see
Part I [1] for further details.

The numerical analyses are carried out using the explicit FE code
LS-DYNA [21]. Each specimen is modeled using three different
characteristic element sizes, le¼ [5, 10, 18] mm, and Belytschko–
Lin–Tsay shell elements [35] with five integration points through
the thickness. Contact between indenter and plate is accounted for
by applying the surface-to-surface contact routines in LS-DYNA.
This is enforced with a static friction coefficient equal to 0.3, which
is a reasonable assumption for friction between coated steel
surfaces. In total 30 simulations have been conducted.
Stiffener cross section

Weld elementsPlate cross section

Fig. 5. Cross section illustration of ‘‘weld element’’ in the stiffener–plate junction.
The finite element models are illustrated in Fig. 4. To account for
imperfections in the stiffener geometry, a general imperfection in
form of a sine curve is applied to the stiffeners. The amplitude of
this curve is 0.1% of the stiffener length. Furthermore, it is likely that
some offset between the indenter and the target center has been
introduced during testing. To account for this, the indenter is set to
hit the specimens 5 mm off the panel center.

The additional thickness caused by the weld seams is accounted
for by increasing the plate thickness in the plate–stiffener inter-
section. This is a necessary action, especially when applying small
elements, both with respect to the behavior of the stiffeners and to
predict the onset of fracture. Adding welds gives an increase in
stiffener tripping resistance and a smoother cross-section transi-
tion between stiffener and plate. Physically, the weld cross section
takes the shape of a triangle. The height and width of the welds
vary between 5 and 7 mm. In the simulations, welds are repre-
sented by single rows of 6 mm wide elements with increased
thicknesses. On the plate side, the thickness increase is equal to
2 mm, and on the stiffener side the thickness increase is equal to
4 mm. A similar procedure for modeling welds is reported by Wang
et al. [30]. An illustration is given in Fig. 5.
Table 2
Power law material parameters for the various structural components.

Specimen Material type sY [MPa] K [MPa] n 3plat

Plate US, 1-FB and 2-FB S235JR EN10025 285 740 0.24 –
Plate 1-HP S235JR EN10025 340 750 0.20 –
Plate 2-HP S235JR EN10025 260 640 0.22 0.003
Flat bar stiffeners S235JR EN10025 340 760 0.225 0.015
Bulb stiffeners S355NH EN10210 390 830 0.18 0.01
Frame S355NH EN10210 390 830 0.18 0.01
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3.2. Material properties

The material is assumed to have isotropic plastic properties and
is modeled using plane stress J2 flow theory. The nominal stress–
strain curves for each material sample are given in Part 1, [1]. The
Fig. 7. Indentation of panel US: (a) shows the plastic strain distribution of the transverse cr
and (c) shows the degree of biaxial straining, b, at 175 mm indentation.
equivalent stress–strain relationship is represented by a modified
power law formulation which includes the plateau strain.

seq ¼
	

sY if 3eq � 3plat

K
�
3eq þ 30

�n otherwise
(13)

where 3plat is the equivalent plastic strain at the plateau exit and sY

denotes the initial yield stress. The strain 30 allows the plateau and
power law expression to intersect at (3plat, sY) and is obtained by

30 ¼
�sY

K

�1
n�3plat (14)

where K and n are material parameters. The modified power law
yields good correlation with the material stress–strain curves, as
reported by Alsos et al. [2]. The properties of the materials applied
in the experiments are summarized in Table 2.

Material failure is based on the BWH and RTCL criteria, both
summarized in Section 2. The BWH criterion is calibrated by the
power law exponents given in Table 2, i.e. ~n ¼ n. The critical RTCL
damage Dcr(le) is calibrated from simulations of uniaxial tensile
tests with different mesh sizes. This implies that the criterion is
made dependent on the mesh size, in order to imitate fracture after
onset of local necking. The equivalent strain at fracture is illustrated
in terms of the element size in Fig. 6. Here the simulated values are
compared with curves produced analytically by Eq. (12). As seen,
the correlation is excellent when calibrated values of 3n are used.
For panels US, 1-FB and 2-FB 3n¼ 0.71, for plate 1-HP 3n¼ 0.81,
while 3n¼ 0.83 for 2-HP.
oss section of the plate, (b) illustrates the same distribution of the whole plate section
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4. Simulation results

In this section, the results of the finite element analyses are
compared with the experimental results. Focus is placed on the
force–deformation relationship and the initiation of fracture.
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4.1. Unstiffened plate – panel US

All plates have an aspect ratio close to 5/3. Most of the load is
therefore carried in the transverse direction by membrane action.
This is seen by analyzing the equivalent plastic strain distribution
shown in Fig. 7. The largest strains occur in the plating adjacent to
the indenter contact area in the transverse direction. In the direct
contact zone deformations are reduced due to friction.

Fig. 7c shows the distribution of strain rate biaxiality b. It is seen
that the central impact zone is dominated by equi-biaxial tension,
while the most strained areas are dominated by b values closer to
0.3. This corresponds to a loading state between plane strain and
equi-biaxial stretching.

The results of the simulations using the two failure criteria are
illustrated in Fig. 8. The two criteria show large differences in the
failure response. The BWH criterion predicts failure after about
175 mm indentation, irrespective of the mesh size, versus 200 mm
in the test.

The RTCL criterion predicts fracture between 120 and 190 mm
indentation, depending on the element size. The reason for this is
primarily due to the adopted failure scaling law, see Fig. 6. As illus-
trated in Fig. 7, strain concentrations are weak in the failure zone,
though the magnitude of equivalent strain distribution is significant.
This correlates well with observations made in Part 1 [1]. Hence, it
becomes misleading in this context to implicitly assume local
straining and strain concentration effects prior to fracture, as Eq. (12)
implies. Simulations performed without damage scaling yields far
better correlation with the test, see Fig. 9. In this case, the calibration
strain 3cr is set equal to 3n¼ 0.71 regardless of the mesh.
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Fig. 9. Force-indentation behavior of panel US. Experimental result compared with
simulated results using the RTCL criterion without scaling the critical damage level.
4.2. Panels with one stiffener – panel 1-FB and 1-HP

Comparison between simulations and the 1-FB experiment is
shown in Fig. 10. The BWH criterion yields excellent results from
a resistance point of view, see Fig. 10a. Fracture is predicted
between 155 and 160 mm crosshead displacement, versus 175 mm
in the test. The RTCL criterion predicts fracture between 130 and
200 mm indentation. Again, the scatter in the RTCL results can be
attributed to scaling of the critical damage level, Eq. (12).

The finite element simulations show that the strains in both
panels 1-FB and 1-HP are fairly uniformly distributed during
deformation. The only exception is when applying the finest
element resolution (le¼ 5 mm). A narrow strip of elements in the
plate close to the stiffener intersection is then observed to strain at
a higher rate than the surrounding elements. This is illustrated in
Fig. 11a, showing the equivalent plastic strain field (1-FB). These
strain concentrations are not detected by the coarser meshes. The
location of the onset of fracture will therefore occur at different
locations depending on the element size. This is for instance seen in
simulations using the BWH criterion. Although the representation
of the contact force is excellent for the differently meshed models,
the onset of fracture will actually occur at different locations. See
for instance Fig. 11. Simulations with the fine mesh shows fracture
in the base plate next to the stiffener intersection, as in the tests,
while the coarse model fractures about 100–120 mm to the side of
the stiffener. In the latter case, strain concentrations are not
captured. Hence, the coarsely meshed models show behavior
similar to the unstiffened panel.
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Fig. 10. Force-indentation behavior of panel 1-FB: (a) shows simulation results achieved using the BWH criterion, and (b) shows results using the element size dependent RTCL
criterion.
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As commented upon earlier, the RTCL results are scattered.
Because the mesh scaling law, Eq. (12), fails to separate between
locations which in reality are subjected to strain concentrations and
areas which are not, fracture initiates prematurely in the uniformly
strained areas. Consequently, the coarsely meshed models appear
less ductile than FE models having a detailed mesh.

Simulations of 1-HP are in many ways similar to the 1-FB simula-
tions. Again the variations in the RTCL results can be attributed to the
‘‘failure scaling law’’, Eq. (12). The BWH criterion shows more consis-
tent results, though slightly more scattered than for 1-FB, see Fig. 12.
Fig. 11. Deformation of the panels: (a) shows the transverse cross section of panel 1-FB right
mesh model of 1-FB, respectively. The color distribution illustrates the degree of equivalen
In Part 1 [1], it is observed that once a crack appears it seems to
prefer propagating along the weld seam. This results in a sudden
loss in transverse membrane capacity. In turn, this leads to
a redistribution of the loads in the longitudinal direction. Hence,
none of the tests showed a total loss in resistance. The simulations
show the same behavior provided that fracture is initiated at the
same locations as in the experiments. For this to be the case, a fine
mesh is required. Simulations with coarse meshes yield cracks
growing in arbitrary directions. The consequence of this is
a dramatic drop in resistance, see for instance Fig. 12a.
before fracture, while (b) and (c) illustrate onset of fracture in a fine mesh and a coarse
t plastic straining.
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Fig. 12. Force-indentation behavior of panel 1-HP: (a) shows results generated with the BWH criterion, while (b) shows results using the element size dependent RTCL criterion.
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4.3. Panels with two stiffeners – 2-FB and 2-HP

The simulated indentation of panel 2-FB and 2-HP is depicted in
Fig. 13. The plate membrane loads are mainly carried in the trans-
verse direction, through stiffeners and into the frame. As described
in Part I, the stiffeners are able to carry significant loads. Conse-
quently, the plate section confined by the stiffeners suffers the most
severe deformations. The greatest strains are found in the plate–
stiffener intersection. The explanation for this is twofold: first, the
combination of large stiffener resistance and friction effects in the
impact zone yields greater deformation in the plate section close to
Fig. 13. Deformation of the panels: (a) shows the transverse cross section of panel 2-FB right
color distribution illustrates the degree of equivalent plastic straining.
the stiffeners than at other locations. Furthermore, the plate–
stiffener intersection represents a change in panel geometry, which
yields additional strain concentrations. Consequently, fracture
occurs at these locations in both 2-FB and 2-HP. This event is
simulated successfully with both failure criteria. After the onset of
fracture, the crack propagates along the stiffener as monitored in the
tests. The discontinuity in the plate caused by the crack reduces
the transverse membrane resistance. A consequence of this is that
the indenter is wedged in between the stiffeners. This, in turn,
accelerates the tripping motion of the stiffeners, which is seen for
both 2-FB and 2-HP. The agreement between simulated and
before fracture, while (b) and (c) illustrate panel 2-FB and panel 2-HP, respectively. The
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Fig. 14. Force-indentation behavior of panel 2-FB: (a) shows results generated with the BWH criterion, while (b) shows results generated with the scaled RTCL criterion.
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experimental deformations is accompanied by an excellent match
in force–deformation curves, see Figs. 14 and 15.

Both the BWH and RTCL criteria predict failure with reasonable
precision, see Figs.14 and 15. Scaling the critical damage for the RTCL
criterion works well in this case, because fracture is initiated at
locations also subjected to dominating strain concentrations, i.e. next
to stiffeners. These concentrations are further amplified by bending
in the outer and inner surface of the heavily strained row of shell
elements next to the stiffeners. Consequently, even though these
strain concentrations are not detected by the coarse meshes, they are
accounted for implicitly by introducing scaling laws such as Eq. (12).

The BWH criterion shows results with slightly more scatter than
those of the RTCL criterion, e.g. penetration of 2-HP in Fig. 15. The
BWH criterion applies no element size scaling law. As explained
earlier, this is because failure is based on the onset of material
instability, rather than the final stage of fracture. Some sensitivity to
the element size is, nevertheless, inevitable. Structural intersec-
tions and change in geometry yield stress and strain concentrations
at large deformations. For coarse meshes this may be difficult to
capture. In fact, it may not be possible to capture such strain
concentrations correctly or achieve strain convergence at all, even
with finer elements. This is due to the plane stress formulation of
shell elements, which yield little through-thickness resistance. It is
therefore reasonable to assume that extending the element size
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Fig. 15. Force-indentation behavior of panel 1-HP: (a) shows results generated with the
range will yield an even greater scatter in the force-indentation
results if counteractions are not made, e.g. by non-local methods or
by corrections such as Eq. (12).

The tests show a remarkable post-failure resistance. For spec-
imen 2-HP, the resistance hardly drops after fracture, Fig. 15. When
the plate fractures, the crack path is restricted by the area confined
by the stiffeners. The same response is obtained in the simulations
with both failure criteria. Because the loads are re-distributed, the
effect of crack propagation becomes less significant. This implies
that the panel is able to carry significant loads in the longitudinal
direction.

5. Discussion

The test results are reproduced well by means of the finite
element method. It is demonstrated that onset of fracture may be
estimated with good precision, especially when changes in the
panel cross section, such as stiffener–plate intersections, are
modeled with ‘‘weld elements’’ to give a smoother shell element
thickness transition. This is shown in use with the BWH criterion.
For the present tests, a significant scatter in the simulation results is
observed when applying the RTCL damage criterion in combination
with the mesh size dependent failure scaling procedure. This is
exemplified in the indentation simulations of specimens US, 1-FB
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BWH criterion, while (b) shows results generated with the scaled RTCL criterion.



Fig. 16. Simulations of (a) panel 1-FB and (b) specimen 2-FB using the restricted failure scaling law (only gray elements at intersections). The characteristic element size is 8 times
the plate thickness.

H.S. Alsos et al. / International Journal of Impact Engineering 36 (2009) 875–887 885
and 1-HP. However, the problem seems to lie in the way the
criterion is scaled rather than in the RTCL criterion itself.

Collision and grounding analysis performed by means of the
non-linear finite element method is demanding, mainly because
the sheer size of the structure requires large computational
resources. A topic often discussed is the element size to be applied
in the analysis. Ideally, elements should be capable of capturing the
correct failure mechanism. With today’s computers, a compromise
has to be made in order to complete the analysis with reasonable
time consumption. This compromise yields often element sizes in
the range of 5–15 times the plate thickness, or more. This is of
course not ideal with respect to prediction of fracture. For
comparison, the element sizes in the previous simulations, ranged
from 1 to 4 times the plate thickness. In the following section,
alternative measures to determine fracture in coarsely meshed
panels are discussed.

5.1. Alternatives measures

Local necking, fracture and excessive straining usually take place
in limited zones. Ideally, it should be sufficient to restrict dense
meshes only to these areas. To foresee where such mechanisms will
take place is, on the other hand, not trivial, especially in large-scale
structures. A promising way to overcome this problem is to initiate
re-meshing of elements subjected to excessive straining. This
method is referred to as the ‘‘adaptive refinement method’’ and is
an option found in several FE codes, e.g. in LS-DYNA [21]. This
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Fig. 17. Force-indentation behavior of panel 1-FB. Failure criterion scaling is used at the plate
RTCL criterion.
method, however, also has drawbacks. As shown previously, when
dealing with large elements it may be difficult to capture local
strain effects. This also indicates that it may be difficult to establish
a criterion which restricts mesh refinement to zones which in
reality are subjected to strain localizations. For now, such a criterion
does not exist. This implies that adaptive re-meshing must be
performed prematurely in order to capture strain concentrations,
which makes the method computationally expensive.

Accepting that coarse meshes are used extensively, it is perhaps
possible to improve the way fracture is introduced. Obviously,
scaling the critical failure strain alone has strong limitations. In
many cases it is unreasonable to assume local strain fields prior to
fracture. Simulations of the unstiffened panel showed for instance
no signs of local straining before fracture. Consequently, the use of
scaling laws such as Eq. (12) needs restrictions. The simulations
carried out in the previous section all showed that strain concen-
trations appear close to changes in the structural geometry, e.g.
plate stiffener intersection and crack tips. It is therefore reasonable
to restrict the use of Eq. (12) to locations where strain concen-
trations most likely will appear, for instance at structural inter-
sections. Enforcing this restriction may be done during pre-
processing by running simple programs which read the finite
element input file, recognizes all nodes shared by more than four
elements (Q4 shell elements), and writes an updated FE input file.
In this file, elements at structural intersections have scaled failure
properties, refer Eq. (12). The procedure is illustrated in the
following.
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–stiffener junctions: (a) simulations using the BWH criterion, (b) simulations using the
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Fig. 18. Force-indentation behavior of panel 2-FB. Failure criterion scaling is used at the plate–stiffener junctions: (a) simulations using the BWH criterion, (b) simulations using the
RTCL criterion.
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Panels 1-FB and 2-FB are simulated using three additional
meshes. The characteristic lengths of the elements are now 40 mm,
25 mm and 15 mm. Since the elements are much larger than the
plate–stiffener welds, such details are disregarded. As indicated
above, only the elements in the stiffener–plate intersections should
have element size dependent properties, Eq. (12). Outside this zone,
failure may appear, but no scaling is applied. This rationale may also
be used with the BWH criterion. However, this yields a slightly
altered expression in zones which are subjected to failure scaling.
In this case, the ~n parameter in Eq. (9) is given element size
dependent qualities. According to Hill’s analysis the equivalent
plastic strain at onset of local necking, in uniaxial tension, is equal
to 2n, refer also Ref. [31]. Inserting this value into Eq. (12) gives the
following expression

3cr ¼ 2~n ¼ n
�

t
le
þ 1

�
(15)

Inserted into the BWH criterion, Eq. (9) can be rewritten as an
expression dependent on the element size
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As previously, no external input parameters are needed. This
approach is intended for elements larger than the sheet thickness
itself. For smaller elements, a non-local approach may be preferred.

5.2. Example simulations

Fig. 16 illustrates the indentation and fracture response of 1-FB
and 2-FB, respectively. These are simulated using the coarsest mesh
(le¼ 8t) with the zone restricted ‘‘failure scaling law’’. As expected,
fracture now occurs in the plate, next to the stiffeners. This gives
a kinematic response which is very similar to the tests.

The force–deformation curves from the simulations are shown in
Figs. 17 and 18 and describe the response of 1-FB and 2-FB, respec-
tively. Considering the element sizes used, the results are satisfac-
tory. Some element size effect still exists, as the actual strain field
close to the stiffener intersection is not properly captured, but esti-
mated by Eq. (12). This must be expected. After all, this is a simplified
way to determine fracture when applying coarse meshes.
6. Concluding remarks

Simulations of the panel indentation tests described in Part 1 [1]
have been presented. The five tests are analyzed using different
element sizes, introducing ‘‘weld elements’’ and applying two
fracture criteria; the BWH instability criterion and the RTCL damage
criterion. The results generated with the BWH criterion in general
good, although some tendency of mesh sensitivity is present during
simulation of the 2-FB and 2-HP models. However, considering the
simple implementation and the fact that very few input parameters
are needed, the performance of the present criterion is considered
to be very satisfactory. Good results may also be achieved using the
RTCL criterion, although this requires an increased awareness to
input parameters. The RTCL criterion may furthermore be applied
with solid elements, while the BWH criterion is restricted to plane
stress analysis.

Challenges related to element size effect have been presented. It
is shown that this effect varies with structural geometry and load
scenario. For instance, when strain gradients do not dominate, the
mesh size effect at onset of fracture vanishes. Uncritical scaling of
the RTCL damage criterion therefore yields scattered results with
respect to prediction of fracture, e.g. as seen in simulations of the
US panel. The same is observed in simulations of panels 1-FB and 1-
HP. Excellent results are, however, achieved when the RTCL crite-
rion and the scaling law is applied in simulations of 2-FB and 2-HP.
In this case, the assumption behind Eq. (12) matches the strain
concentrations at the stiffener intersections well. This illustrates
the complexity of the problem and shows that the mesh sensitivity
problem cannot be treated adequately by means of a fracture-
scaling criterion alone.

It is in general recommended to use as small elements as
possible. Coarse meshes may have difficulties with capturing strain
concentrations. Hence, fracture may be introduced at wrong loca-
tions. This may give less accurate results, especially if a failure
scaling law is applied uncritically. An alternative method of estab-
lishing fracture is therefore presented. This involves restricting the
scaling law to apply only at certain locations. For instance, strain
concentrations often appear at structural intersections and changes
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in plate geometry. Outside these regions, strains usually have
smooth distributions. A restriction to the scaling law may therefore
be that only elements next to structural intersections or at element
crack tips should have scaled fracture properties. Trial simulations
performed with coarsely meshed models, which follow this ratio-
nale (1-FB and 2-FB), show promising results. Both the failure
location and force level corresponds well with the test results. This
goes both for simulations with the BWH criterion as well as with
simulations performed using the RTCL criterion.
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