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The use of aluminium alloys in lightweight protective structures is increasing. Even so, the number of
experimental and computational investigations that give detailed information on such problems is
limited. In an earlier paper by some of the authors, perforation experiments were performed with 15–
30 mm thick AA5083-H116 aluminium plates and 20 mm diameter, 98 mm long, HRC 53 conical-nose
hardened steel projectiles. In all tests, initial and residual velocities of the projectile were measured and
the ballistic limit velocity of each target plate was determined. In the present paper, an analytical per-
foration model based on the cylindrical cavity-expansion theory has been reformulated and used to
calculate the ballistic perforation resistance of the aluminium plates. In addition, non-linear finite ele-
ment simulations have been carried out. The target material was modeled with the Johnson–Cook
constitutive relation using 2D axisymmetric elements with adaptive rezoning. To allow ductile hole
growth, a pin-hole was introduced in the target. The analytical and numerical results have been com-
pared to the experimental findings, and good agreement was in general obtained. A parametric study
was also carried out to identify the importance of the different terms of the Johnson–Cook constitutive
relation on the perforation resistance of the target. The results indicate that thermal softening cannot be
neglected, so an alternative procedure for identification of the material constants in the power-law
constitutive relation used in the cavity-expansion theory has been proposed.

� 2008 Elsevier Ltd. All rights reserved.
1. Introduction

Aluminium alloys are of particular interest in the design of
lightweight fortification structures as ballistic protection against
accidental loads, terrorist attacks and hostile assaults in in-
ternational peacekeeping operations [1]. This interest for alumin-
ium in protective systems is not new, and a number of papers on
the subject have been presented in the open literature over the
years. Even so the number of studies giving detailed information
from ballistic penetration experiments is rather limited [2]. Some
important works within this particular field have been reviewed in
Børvik et al. [3] and Børvik [4].

The complexity of the penetration problem has limited the use
of computational methods. For that reason most works in this area
ory (SIMLab), Centre for Re-
ng Science and Technology,
O-7491 Trondheim, Norway.

All rights reserved.
has been experimental [5], at least up to the mid 1980s. After that,
more analytical and in particular numerical studies can be found in
the open literature. Calculations of ballistic impacts seem to fall into
one of the following categories: (1) Empirical equations, (2) Ana-
lytical models and (3) Numerical simulations. However, in several
review papers, such as Goldsmith [6], Scheffler and Zukas [7] and
Zukas and Scheffler [8], questions have been raised about the ac-
curacy of the many computational models available. It is thus im-
portant to validate such models against reliable experimental data.

Regarding analytical modeling, the cavity-expansion theory
(CET) has received much attention. From the early works of Bishop
et al. [9], Hill [10] and Goodier [11], there have been many attempts
to account for the resistance to penetration of metal targets by the
critical pressures which are needed to expand a cavity [12]. In later
years, Forrestal and co-authors have used CET extensively to
calculate the penetration depth or perforation resistance of various
materials [13–17]. Excellent agreement has in general been
obtained between calculations using CET and high-precision
experimental data. However, CET is based on 1D motion in the
target and simplified material descriptions.
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In the present paper, major goals are to compare analytical
calculations based on cavity-expansion theory with results
obtained through non-linear finite element (FE) simulations and
then to compare both predictions with experimental results. To do
so, a model based on cylindrical cavity-expansion theory (CCET) has
been modified and used to calculate the ballistic perforation
resistance of aluminium plates subjected to a conical-nose hard
steel projectile. In addition, non-linear FE simulations were carried
out using the explicit solver of LS-DYNA [18]. The target material
was modeled with a modified version of the Johnson–Cook con-
stitutive relation using 2D axisymmetric elements with adaptive
rezoning. A pin-hole in the target was included to allow ductile hole
growth, so a fracture criterion was not necessary. The analytical and
numerical results are compared to the experimental findings. FE
simulations are also used to identify the relative importance of
strain hardening, strain rate hardening and thermal softening on
the predicted results. While the effect of strain rate hardening is
small, strain hardening and thermal softening are important and
should not be neglected. Based on this conclusion, an alternative
procedure for calibration of the constitutive relation used in the
CCET analysis is proposed.

2. Experiments

2.1. Material tests

Aluminium is divided into seven major classes of wrought alloys
according to their principal alloying elements. The class AA5xxx,
which stands for aluminium–magnesium alloys, is well suited for
rolling and plates are thus an important product. The traditional
use of AA5xxx plates is naval structures such as ship hulls and
offshore topsides. Here, we have studied the AA5083-H116 alloy.
This is among the strongest aluminium–magnesium alloys avail-
able in the market. The main alloying elements are 4.75 wt.%
magnesium, 0.84 wt.% manganese and 0.18 wt.% iron. The amount
of magnesium in AA5083 is higher than 3 wt.%, which is the
maximum quantity to be retained in solid solution at room tem-
perature. This may give rise to stress-corrosion in corrosive media,
which has resulted in the development of the special temper H116
[19].

To reveal the mechanical behavior of AA5083-H116 under
impact generated loading conditions, the flow and fracture char-
acteristics of the alloy as function of strain rate, temperature and
stress triaxiality were investigated by Clausen et al. [20]. The
experimental program involved about 100 tensile tests with
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Fig. 1. (a) True stress–strain curves to fracture from three directions to the rolling direction o
dimensionless strain rate _3*

eq ¼ _3eq=_30, where _30 ¼ 1 s�1 and (c) representative engineerin
taken from a 25 mm thick AA5083-H116 plate.
axisymmetric specimens taken in three different directions of the
plate material. Four types of tensile tests were carried out: quasi-
static, smooth specimen tests; quasi-static, notched specimen tests;
tests at different strain rates; and tests at elevated temperatures.
The experimental results were then used to calibrate modified
versions of the constitutive equation and fracture criterion of
Johnson and Cook [21,22]. The material constants for a 25 mm thick
plate can be found in Clausen et al. [20]. Fig. 1a shows typical true
stress–strain curves from quasi-static tensile tests on smooth, axi-
symmetric specimens at room temperature with a constant strain
rate of 5�10�4 s�1. The specimens were taken in three different
directions with respect to the rolling direction of the plate to reveal
the plastic anisotropy of the material. As seen, the anisotropy in
strength is small, while the anisotropy in ductility is considerable.
At 45� direction with respect to the rolling direction, the failure
strain is found to be about twice as large as in the rolling (0�) di-
rection. This may affect the perforation process and result in an
unsymmetrical fracture mode. Fig. 1b shows flow stress at 5%
plastic strain for the 0� direction as function of dimensionless strain
rate _3*

eq ¼ _3eq=_30, where _30 ¼ 1 s�1. Although some scatter is
present, there is a clear tendency of a drop in flow stress when the
strain rate increases from 10�5 to 10 s�1. At higher strain rates, the
flow stress continues to increase. Thus, a negative strain rate
sensitivity of the material is observed in this particular strain rate
regime. Both the serrated yielding (known as the Portevin–Le
Chatelier effect) and the negative strain rate sensitivity are results
of dynamic strain aging [23,24], resulting from diffusion of solute
atoms to dislocations temporarily arrested at obstacles in the slip
path. Such a behavior has been observed in various aluminium
alloys (see e.g. [25]). Dynamic strain aging only occurs for
temperatures and strain rates within a certain range, and some-
times a critical strain level has to be reached for serrated yielding to
take place. Fig. 1c shows typical engineering stress–strain curves for
the 0� direction at elevated temperatures. The flow stress decreases
and the fracture strain increases significantly as the temperature is
increased. At 400 �C, the strength is only about 10% of the strength
at room temperature, while the fracture strain has increased by
a factor of 3. Note that the serrated yielding disappears at tem-
peratures above 100 �C at this strain rate.

Fig. 2 shows true stress–strain curves from quasi-static tensile
tests at room temperature for four different plate thicknesses of
AA5083-H116. The yield stress varies from about 150 MPa for
a 25 mm thick plate to 275 MPa for a 15 mm thick plate. For the 20
and 30 mm thick plates, the yield stress is about 225 MPa. After
yielding, the hardening is similar up to diffuse necking. The reason
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Fig. 2. True stress–plastic strain curves from quasi-static tensile tests at room tem-
perature parallel to the rolling direction for the different thicknesses of AA5083-H116.
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Fig. 3. Typical true stress–plastic strain curves from compression tests of cylindrical
specimens with L0=D0 ¼ 1:0 taken in the thickness direction from a 25 mm thick plate
compared to a tensile test in the rolling direction.
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for the variation in yield stress is due to the manufacturing of the
material. Temper H116 can be achieved by various means, e.g. a low
degree of cold rolling, specific back-annealing or hot rolling at low
temperatures. Normally the thinnest plates are first hot rolled, and
then cold rolled before annealing, while thicker qualities are mostly
hot rolled. In all cases, the microstructure will differ and a distinct
variation in mechanical properties between different plate thick-
nesses can be seen [26]. Measured yield stresses corresponding to
a 0.2% plastic strain (i.e. s0.2) are given in Table 1.

During projectile impact, the material is compressed normal to
the projectile surface. Therefore, uniaxial compression (or upset-
ting) tests in the thickness direction of a 25 mm thick plate were
carried out using cylindrical specimens with L0=D0 ¼ 1:0 and
L0¼10 mm. All specimens were machined from the centre of the
plate. After grinding the end surfaces, the specimen was precisely
aligned between two hard, polished plates in a servo-hydraulic test
machine to secure a homogenous compression of the specimen
along its axis. To minimize the effect of barreling caused by friction
between the end surfaces and the anvils applying the load,
a graphite paste was used to lubricate the specimens. The tests
were conducted at room temperature with a constant strain rate of
about 1�10�3 s�1. During testing, the force was measured by the
calibrated load cell, while the displacement was measured by the
actuator stroke and an extensometer attached to the anvils. Based
on the measurements, stresses and strains were calculated. Typical
true stress–strain curves from compression tests are given in Fig. 3.
The curves are stopped at a plastic strain of 0.3 due to a possible
barreling effect. The figure also compares the true stress–strain
curves from compression tests and a typical tensile test in the
rolling direction (see Fig. 1), and it is seen that the agreement is
excellent.
Table 1
Material constants for the power-law and the Johnson–Cook strain hardening
models

Target
thickness

Yield
stress

Power-law
model

Johnson–Cook
model

h
(mm)

s0.2

(MPa)
Y
(MPa)a

na A
(MPa)

B
(MPa)

n

15 278 245 (283) 0.160 (0.106) 143 462 0.216
20 230 194 (227) 0.185 (0.134) 124 456 0.252
25 152 118 (143) 0.246 (0.199) 59 511 0.285
30 224 190 (223) 0.192 (0.140) 119 475 0.256

a Numbers in parenthesis are best fits including the effect of temperature.
2.2. Component tests

In Børvik et al. [3], ballistic penetration test results for AA5083-
H116 aluminium plates with thicknesses varying from 15 to 30 mm
were presented. The conical-nose steel projectiles had nominal
mass, diameter, length and hardness of 197 g, 20 mm, 98 mm and
HRC 53, respectively, with geometry as defined in Fig. 4. The
experimental programs were carried out in a compressed gas gun
described in Børvik et al. [27]. The target plates, having a free span
diameter of 500 mm and nominal thickness of 15, 20, 25 and
30 mm, were carefully cut to squares of 600� 600 mm2 from larger
plates. The target plates were then clamped in a rigid circular frame
by 21 prestressed M16 bolts. Except for the target thickness and the
initial projectile velocity, the test conditions were identical in all
tests. Initial and residual velocities of the projectile were measured
and a digital high-speed camera system was used to photograph
the penetration and perforation process. All targets failed by ductile
hole growth, without any plug separation. Based on the measure-
ments, impact vs. residual velocity curves were constructed and the
ballistic limit velocity of each target was determined. Results are
plotted in Fig. 5. Within the limitations of this study, the increase in
capacity is rather linear with target thickness. If the target thickness
(and consequently the mass) is doubled, from 15 to 30 mm, the
perforation resistance is increased by approximately 40%. A drop in
the ballistic limit vs. target thickness curve appears at a thickness of
25 mm. This drop is not related to a change in deformation mode
with target thickness as seen in Ref. [27], but is due to the earlier
described variation in material properties with target thickness.
Cross-sections of perforated target plates at impact velocities close
to their respective ballistic limits are given in Fig. 6. The global
deformation decreases and the bulge on both sides of the pene-
tration channel increases with increasing target thickness. How-
ever, the global deformation of these targets is as seen moderate.
3068

20

2

Fig. 4. Geometry and dimensions of the truncated conical-nosed projectile (in mm).
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Fig. 5. (a) Initial velocity vs. residual velocity curves and (b) ballistic limit velocity vs. target thickness from experimental tests (Børvik et al. [3]).
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The cavity is cylindrical, smooth and regular in all tests, and no
effect of material anisotropy on the failure mode was observed.
Small petals on the rear side of the cavity are seen in some of the
tests, but these are not believed to markedly affect the energy
dissipation during impact. Thus, ductile hole growth is the pre-
dominant failure mode. During perforation, the material in front of
the projectile is pushed out laterally and into the bulges. The plastic
flow causes a thickening of the target in a region extending
approximately half a projectile diameter (i.e. 10 mm) outside the
cavity (simply measured by a slide caliper). Outside this region, no
target thickening was observed.
Fig. 6. Cross-sections of perforated target plates of varying thickness (Børvik et al. [3]).
3. Analytical model

As already indicated, the cavity-expansion theory has received
much attention over the years. Forrestal and co-authors have
through a sequence of studies [13–17] developed accurate, closed-
form equations that predict the ballistic limit and residual velocities
for the perforation of plates by conical-nose or ogive-nose, steel and
tungsten projectiles. In this section we first summarize results from
those studies and organize the various equations. Later on we
compare predictions from these closed-form equations based on
CCET with the ballistic data from AA5083-H116 aluminium plates
impacted by hardened conical-nose steel projectiles [3] and FE
simulations.

The major approximations used to develop the perforation
equations were guided by experimental observations. First, post-
perforation X-ray photographs showed that the conical-nose [13]
and ogive-nose [16] high-strength projectiles were visibly un-
deformed. Thus, the models assumed that the projectiles were
rigid bodies. Second, post-test photographs of sectioned 6061-T651
[13–16] and 5083-H116 [3] aluminium plates showed that the
plate deformations were dominated by ductile hole growth and
that the hole had nearly the diameter of the projectiles. This
ductile hole growth mechanism suggested that the plate perfora-
tion process could be approximated with cylindrical cavity-
expansion models first developed by Hill [10]. As discussed in Refs.
[13–16] the cylindrical cavity-approximation idealizes the target as
thin, independent layers that are compressed normal to the
penetration direction. Thus, the analysis is simplified to 1D motion
in the radial plate direction. Third, the experimental technique
reported by Kawahara [28] was used to obtain compression,
stress–strain data to 100% true strain for 5083-H131 [15] and 6061-
T651 [16] aluminium plates. These large strain compression stress–
strain data were then fitted accurately with a one parameter,
power-law, strain hardening material model [15,16]. Fourth, all
these studies [13–16] presented perforation data, so the model
predictions of the ballistic limit and residual velocities were
experimentally verified.

The perforation models take the projectile as a rigid body and
only include forces from cylindrical cavity-expansion. From the
kinetic energy–work balance given in [13], we have

m
2

h
V2

s � V2
r

i
¼ pa2hsr (1)
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where m is the projectile mass, Vs is striking velocity, Vr is residual
velocity, a is the projectile shank radius, h is the plate thickness,
and sr is the true radial compressive stress on the projectile nose
from dynamic elastic–plastic cylindrical cavity-expansion analyses.
Note that other expressions for Eq. (1) exist that may give other
results than the one applied for ductile hole growth in this study
(see e.g. [29,30]). Since the ballistic limit velocity Vbl is the striking
velocity below which the projectile fails to perforate the target, Vbl

is obtained from Eq. (1) with Vr¼ 0 and Vs¼ Vbl. In addition, the
radial stress on the projectile nose from the cavity-expansion
analyses is approximated as the quasi-static value ss; that is, ss is
the value of sr as the cavity-expansion velocity V approaches zero.
Thus,

Vbl ¼
�

2pa2hss

m

�1=2

(2)

where ss is the quasi-static true radial compressive stress required
to open a cylindrical cavity from zero initial radius in an elastic–
plastic material.

As discussed in Ref. [14], an accurate equation for residual ve-
locity in terms of the ballistic limit velocity can be obtained from
Eqs. (1) and (2), and is given by

Vr ¼ Vbl

"�
Vs

Vbl

�2

�1

#1=2

(3)

Eq. (3) was first proposed by Recht and Ipson [31]. They found Vbl

from ballistic tests and were then able to predict Vr. In this
study, we present accurate models for Vbl, so our equations are
predictive rather than empirical. Next, we present our perforation
equations for elastic–perfectly plastic and elastic-power-law
hardening materials impacted by both conical and ogival nose rod
projectiles.

For the elastic–perfectly plastic material, the 1D, compressive
response is s¼ E3 in the elastic region and s¼ Y in the in-
compressible, plastic region. For the von Mises yield criterion, ss is
given as [10]

ss ¼
Yffiffiffi
3
p
�

1þ ln
�

1ffiffiffi
3
p
�

E
Y

���
(4)

where Y is the yield stress and E is Young’s modulus. For an elastic-
power-law, strain hardening material, the one-dimensional com-
pressive response is

s ¼ E3; s � Y (5)

s ¼ Y
�

E3

Y

�n

; s > Y (6)

Here s is true stress, 3 is true strain and n is the strain hardening
exponent. The single parameter n used to fit the data can be
estimated from

lnðsÞ ¼ n ln
�

E3

Y

�
þ lnðYÞ; s > Y (7)

where Eq. (7) was obtained by taking the logarithm of Eq. (6). Thus,
n is the slope of the linear curve given by Eq. (7) and can be
estimated from the measured stress–strain data. Earlier we have
curve fitted 5083-H131 [15], 6061-T651 [16] and 7075-T651 [32]
aluminium stress–strain data with the single adjustable parameter
n and showed accurate data fits. For the von Mises yield criterion, ss

becomes [10]
ss ¼
Yffiffiffi
3
p

8<
:1þ

�
Effiffiffi
3
p

Y

�n Z b

0
f ðxÞ dx

9=
;; b ¼ 1�

ffiffiffi
3
p

Y
E

(8)

f ðxÞ ¼ ½�lnðxÞ�n

1� x
; 0 < n < 1 (9)

As discussed in Ref. [33], the integral in Eq. (8) is improper due to
the behavior of f(x) near x¼ 0. However, the integral has an in-
tegrable singularity at x¼ 0, and the integral can be evaluated with
the midpoint rule that avoids this singularity.

To calculate Vbl and Vrfrom Eqs. (2) and (3) we need the mass m
of the projectiles. For conical-nose rod projectiles with shank
length L, nose length l, shank diameter 2a, and density rp, the mass
is given by

m ¼ prpa2ðLþ l=3Þ (10)

while for ogive-nose rod projectiles, the mass is calculated from

m ¼ prpa2ðLþ k1lÞ (11)

where

k1 ¼
	

4j2 � 4j=3þ 1=3


� 4j2ð2j� 1Þ
ð4j� 1Þ1=2

,sin�1

"
ð4j� 1Þ1=2

2j

#

(12)"� �2
#

j ¼ 1
4

l
a
þ1 (13)

Here, j is the caliber-radius-head for the ogive-nose. Usually the
caliber-radius-head j is selected and the ogive-nose length is cal-
culated from Eq. (13).

From Eq. (2) and the equations for ss and m, the ballistic limit
velocity can be written as

Vbl ¼
"

2
�

h
Lþ k1l

��
ss

rp

�#1=2

(14)

where h is the plate thickness, k1¼1/3 for a conical-nose and k1 is
given by Eqs. (12) and (13) for an ogive-nose. The quasi-static stress
ss required to open a cylindrical cavity in an elastic–perfectly
plastic, incompressible material is given by Eq. (4). For the power-
law hardening, incompressible material, ss is given by Eq. (8).
Residual velocity Vr is predicted by Eq. (3). Note that these
analytical models are independent of plate density and projectile
shank diameter for geometrically similar projectiles with fixed
caliber-radius-heads.

For this study, material constants to the power-law hardening
model in Eq. (6) were determined based on a best fit to the
experimental data obtained from quasi-static tensile tests on
specimens taken from AA5083-H116 plates of varying thicknesses.
Only data from specimens in the 0� direction of the various plates
were used in the fit, and nominal values for the elastic constants
and density of aluminium were assumed. The possible effect of
material anisotropy was thus not considered. Fig. 2 reveals that the
flow stress varies significantly with plate thickness for this partic-
ular alloy. To have a best possible agreement, both Y and n in the
power-law hardening model were fitted to the experimental data
using the method of least squares. Accordingly, Y was not taken as
the measured s0.2 yield stress in this study. Calculated true
stress–strain curves based on the fitted constants to a true strain of
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1 are compared to typical tensile tests in Fig. 7. The agreement is
found to be good until failure in the specimen. Note that the fitted
curves seem to be coinciding at large plastic strains. This is rea-
sonable, since it is anticipated that the effects of cold rolling will
fade at large plastic strains. Fitted material constants for the power-
law hardening model for the four different thicknesses of AA5083-
H116 are given in Table 1.

We finally used Eq. (14) together with the material data in Table
1 to predict the ballistic limits of the various AA5083-H116 alu-
minium targets. The results are compared against the experimental
data in Fig. 13. The experimental trend is correctly described, but
the ballistic perforation resistance of the targets is overestimated
by 9–15%. Possible reasons for this will be discussed in more detail
in Section 5.
4. Numerical simulations

4.1. Constitutive relations

The impact tests were simulated using the explicit solver of the
non-linear finite element code LS-DYNA [18]. The target was
modeled using a slightly modified version of the Johnson–Cook
constitutive relation (called the MJC model in the following to
distinguish it from the original model). The von Mises equivalent
stress is expressed as (Johnson and Cook [21], Børvik et al. [34])

seq ¼
	

Aþ B3n
eq


	
1þ _3*

eq


C	
1� T*m



(15)

where A, B, n, C and m are material constants determined from
material tests, the dimensionless strain rate is given as _3*

eq ¼ _3eq=_30
and the homologous temperature is given as
T* ¼ ðT � TrÞ=ðTm � TrÞ. Here, _30 is a user-defined strain rate and Tr

and Tm indicate room and melting temperatures, respectively. Note
that the possible effect of anisotropy (revealed in Fig. 1a) is
neglected both in the CCET calculations and FE simulations. The
temperature increase under adiabatic conditions is calculated as
[35]

DT ¼ T � Tr ¼
Z 3eq

0
c

seq d3eq

rCp
(16)

where r is the density of the material, Cp is the specific heat, and c is
the Taylor–Quinney coefficient that gives the proportion of plastic
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Fig. 7. Comparison between true stress–plastic strain curves from typical tensile tests
and best fits to the power-law and Johnson–Cook strain hardening models.
work converted into heat. Assuming that r, Cp and c are constants,
we get

DT ¼ c

rCp
Wp (17)

where

Wp ¼
Z 3eq

0
seq d3eq (18)

Here, Wp is the plastic work per unit volume. The MJC model is
implemented in LS-DYNA version 970/971 as Material Type 107.

Johnson and Cook [22] also proposed a fracture criterion taking
the effects of stress triaxiality, strain rate, temperature and strain
path into account. The criterion is based on damage evolution, and
fracture occurs when the damage variable D reaches a critical value.
The traditional way is then to use element erosion where all stress
components in the element are set equal to zero when the damage
criterion is fulfilled. In our study, the overall idea is to compare
results from FE simulations with those obtained from CCET. In the
latter, a cavity is expanded from a zero initial radius at a constant
velocity without fracturing the material [12]. Thus, to be as close as
possible to the applied CCET model in our FE simulations, we de-
cided not to use a fracture criterion. Instead the target plate was
modeled with a tiny pin-hole with a fixed radius of 0.1 mm to allow
cavity opening in the target as the projectile penetrates. Pin-holes
are motivated by the presumption that the projectile trajectory
during perforation is known a priori. The effect of using a pin-hole
in FE simulations has been studied by e.g. Chen [36] and Camacho
and Ortiz [37]. Little or no effect on the results of the calculations
was found using such pin-holes [37]. Chen further stated that a pin-
hole is the numerical equivalent to CCET, where an initial hole of
infinitesimal size is assumed. This justifies the use of a pin-hole
instead of a fracture criterion in this study, as it allows a more direct
comparison between CCET and FE simulations.

It is normally not recommended to model the projectile as
a rigid body, since small elastic and plastic deformations that may
alter the FE results always take place in the projectile. However, in
CCET it is assumed that the projectile is rigid. Therefore, all simu-
lations were run assuming a rigid projectile to comply with the
CCET calculations. Alternatively, a simple constitutive relation for
the projectile material may be used. Due to the shape of the stress–
strain curves from tensile tests on specimens from hardened
projectiles [34], the projectile can be modeled as a bilinear, elastic–
plastic, von Mises material with isotropic hardening (using Material
Type 3 in LS-DYNA), i.e.

s ¼
�

E3
s0 þ Etð3� 30Þ

3 � 30
3 > 30

(19)

where s0 is the yield stress. The tangent modulus Et can be found by
a best fit to the measured stress–strain curves. In this particular
study, where a hardened projectile is used to impact a much softer
target, the effect of using a rigid or an elastic–plastic projectile is
found to be minor (as will be shown later).
4.2. Determination of material constants

One intention with this paper is to compare CCET calculations
with FE simulations. It is thus important that the simulations are
run with the same material description as the CCET calculations.
This was ensured by calibrating the hardening term in the MJC
model in Eq. (15) to the power-law hardening model in Eq. (6). To
have a best possible fit, the material constant A in the MJC model
was not taken as the yield stress. Obtained material constants for
the MJC model are given in Table 1, while calculated true



Table 3
Material constants for the hardened tool-steel projectile [34]

E (MPa) n r (kg/m3) s0 (MPa) Et (MPa) Mean 3f (%)

204,000 0.33 7850 1900 15,000 2.15
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stress–strain curves to a plastic strain of 1 are provided in Fig. 7. If
compared to the power-law hardening curves, good agreement is
found for all plate thicknesses. In the calibration, special care was
taken to ensure that the curves coincided at a plastic strain of 2.
Note that the extrapolation of the plastic strain (or any other
material parameter) to values higher than those measured in
physical tests may lead to significant errors and should be carried
out with great care (see also the discussion in Ref. [38]).

An advantage with FE simulations is that material effects like
strain rate hardening and temperature softening can easily be in-
cluded (or excluded) in the calculations. To take strain rate effects
into account, the strain rate parameter C was determined using the
dynamic tensile tests presented in Fig. 1b. The AA5083-H116 alloy
exhibits dynamic strain aging (causing negative strain rate sensi-
tivity) at low strain rates and room temperature, which cannot be
accounted for in the MJC model. The possible effect of negative
strain rate sensitivity is therefore neglected in this study. In Clausen
et al. [20], a mean value of C was chosen for a best fit to all the
available data. Here, only data giving positive strain rate sensitivity
is used and the C parameter in the MJC model was determined to
0.008 (which is higher than the value given in Ref. [20]). Regarding
the temperature softening parameter m, the value obtained by
Clausen et al. [20] based on tensile tests at elevated temperatures
(see Fig. 1c) was used. It should, however, be noted that the ex-
perimental data used to determine C and m are all taken from
a 25 mm thick plate, and they are only valid up to incipient necking.
It is thus assumed that the effects of strain rate and temperature
seen in the pre-necking phase also prevail for higher strains. The
parameters are given in Table 2 together with nominal values for
aluminium required for FE simulations. Material constants for the
projectile based on tensile tests carried out by Børvik et al. [34] are
given in Table 3.

4.3. Numerical models

All numerical models assumed axisymmetric conditions. The
main focus was on the determination of the ballistic limit velocity
vs. target thickness to see if the models were able to capture the
phenomena observed experimentally and to check that FE simu-
lations gave similar results as CCET calculations. The aluminium
target was modeled using the MJC constitutive relation defined in
Eq. (15) with the material constants in Tables 1 and 2, while the
hardened steel projectile was modeled as a rigid body. All targets
were modeled with a tiny pin-hole having a fixed radius of 0.1 mm.
As explained above, the conical-nose projectile perforated the tar-
get mainly by ductile hole growth. Previous work by Børvik et al.
[39] has shown that numerical problems due to element distortion
will appear if a fixed mesh is used under such conditions. To avoid
this problem, r-adaptive remeshing with a predefined time interval
between adaptive refinements was used in all simulations. No
numerical problems associated with mesh distortion appeared
when this technique was applied.

The geometries of the targets and projectile were identical to
those used in the test set-up, with one exception. The truncated
projectile nose in Fig. 4 was replaced with a pointed nose to keep
the pin-hole diameter at a minimum. This minor difference is not
Table 2
Additional material constants for AA5083-H116 required for numerical simulations
(see Clausen et al. [20] for details)

Elastic constants
and density

Strain rate
hardening

Temperature softening and
adiabatic heating

E
(GPa)

n r

(kg/m3)
C _30

(s�1)
m Cp

(J/kg K)
c a

(K�1)
Tm

[K]
Tr

[K]

70 0.3 2700 0.008 1 0.859 910 0.9 2.3� 10�5 893 293
assumed to have any effect on the results. Thus, the projectile was
modeled with a nominal mass of 197 g, a shank diameter of 20 mm,
a shank length of 68 mm and a nose length of 33 mm. The circular
target plates were modeled with a constant radius of 250 mm
(including the pin-hole radius of 0.1 mm) with nominal thicknesses
of 15, 20, 25 and 30 mm, respectively. The target plates were further
fully clamped at the support. All models were made up of 4-node
2D axisymmetric elements with one integration point and stiffness
based hourglass control with exact volume integration [18]. Contact
was established between all surfaces in possible contact by the
*contact_2D_automatic_surface_to_surface algorithm available in
LS-DYNA. No contact problems were obtained in simulations using
this algorithm. The contact energy was checked after each simu-
lation and found to only be a small fraction of the total energy.

Earlier simulations have indicated that perforation problems
involving blunt projectiles causing shear localization is mesh size
sensitive, while the mesh dependency is far less distinct for pointed
projectiles causing ductile hole growth [3,27,39–42]. To check this,
simulations were first carried out on a 25 mm thick plate struck by
a rigid projectile at 303 m/s using four different mesh densities. The
chosen element sizes were 1, 0.5, 0.33 and 0.25 mm, giving 25, 50,
75 and 100 elements over the plate thickness. Obtained velocity–
time curves from the simulations are plotted in Fig. 8 (left). As seen,
the results are slightly mesh size sensitive, but at an element size of
0.25 mm the solution seems to have converged. The effect of mesh
size on the ballistic limit for the various target thicknesses when
decreasing the element size from 0.5 to 0.25 mm is illustrated in
Fig. 8 (right). Even though the number of elements is increased by
a factor of 4 (and the computational time by a factor of 8), the
change in ballistic limit velocity is only 1–3%. All these simulations
were carried out using the full MJC model (see Section 4.4 for de-
tails). The initial element size in the target plates was taken equal to
0.25 mm with an aspect ratio of 1 in the rest of the study. This gave
60, 80, 100 and 120 elements over the plate thickness for 15, 20, 25
and 30 mm thick targets, respectively, while the total number of
elements varied from about 60,000 for the 15 mm thick plate to
about 120,000 for the 30 mm thick plate. No coarsening of the el-
ement mesh towards the boundaries was used. It is thus believed
that the chosen number of elements across the targets’ thicknesses
is sufficient to have a converged solution. The mesh of the rigid
projectile was taken much coarser than that of the target. Sliding
friction between the target and projectile was neglected in all
simulations due to the high projectile velocity and temperature
increase in the contact zone during impact (see also Ref. [37,39]).
This is a conservative assumption, and in agreement with the
corresponding CCET calculations. The initial finite element mesh
including the conical projectile and a part of a 25 mm thick
AA5083-H116 target is shown in Fig. 9.

In the simulations, the projectile was given an initial velocity
similar to the one used in a corresponding experiment and the
residual velocity of the projectile was registered. From this, the
ballistic limit velocity Vbl for each target thickness was estimated
based on a number of runs using the analytical model by Recht and
Ipson, Eq. (3), and the method of least squares.

4.4. Numerical results

The change in target response by including or neglecting strain
hardening, strain rate hardening and temperature softening in the
MJC constitutive was studied first. All simulations were performed



Time [s]

100

150

200

250

300

350

V
el

oc
it

y 
[m

/s
]

Element size: 1.00 mm
Element size: 0.50 mm
Element size: 0.33 mm
Element size: 0.25 mm

Test data (vr = 161 m/s)

0 0.0001 0.0002 0.0003 0.0004 0.0005 10 15 20 25 30 35

Target thickness [mm]

200

240

280

320

B
al

lis
ti

c 
lim

it
 v

el
oc

it
y 

[m
/s

] Element size: 0.50 mm
Element size: 0.25 mm

Fig. 8. Effect of mesh size on the velocity–time curve during perforation of a 25 mm thick plate struck by a rigid projectile at 303 m/s (left) and on the ballistic limit velocity (right).

T. Børvik et al. / International Journal of Impact Engineering 36 (2009) 426–437 433
for a 25 mm thick AA5083-H116 plate struck by a rigid projectile
with an impact velocity equal to 303 m/s. First, a simulation was
carried out using the full MJC model (i.e. including strain hardening,
strain rate hardening and temperature softening). Second, strain
rate hardening was turned off by setting the strain rate sensitivity
parameter C in Eq. (15) equal to zero. Third, the strain rate sensi-
tivity was turned on again, while the temperature softening was
turned off by setting the Taylor–Quinney coefficient c in Eq. (16)
equal to zero. Fourth, both the strain rate sensitivity and the tem-
perature softening were turned off, so that only non-linear strain
hardening was active in the constitutive relation. The material
behavior is then identical to the one used in CCET calculations given
by Eq. (6). In the fifth simulation, also the strain hardening was
turned off. Thus, the material was assumed perfectly plastic (as
often used in analytical models), and the s0.2 yield stress in Table 1
was used to represent the material constant A in the MJC model.
Finally, in the sixth simulation the effect of using an elastic–plastic
projectile (see Eq. (19)) together with the full MJC model is shown.
The resulting velocity–time curves from the six simulations are
plotted in Fig. 10, where also the residual velocity from the corre-
sponding experimental test is given for comparison.

From these simulations the following observations are made.
The residual velocity obtained by the full MJC model is close to the
experimental result, but the simulation is non-conservative (giving
a too high ballistic limit velocity). The effect of neglecting the strain
rate term is only moderate, since the strain rate sensitivity of the
alloy is rather small (but now the simulated result is very close to
the experimental value). The effect of temperature softening is,
however, considerable, and if this term is neglected the result be-
comes far too non-conservative. If a perfectly plastic material is
assumed (i.e. strain hardening is neglected), the result becomes too
conservative. Note finally that it is as expected difficult to distin-
guish the simulated results using a rigid or an elastic–plastic pro-
jectile. Thus, the assumption of a rigid projectile seems justified in
this particular study. Based on this it is concluded that the effects of
Fig. 9. Plot of the initial finite element mesh showing the projectile and a part of a 25 mm
a radius of 0.1 mm is barely visible.
temperature softening and material strain hardening are important
features in the perforation of aluminium plates, and should not be
neglected in calculations.

Fig. 11 shows some plots of a 25 mm thick plate during the
perforation process at an impact velocity of 303 m/s using the full
MJC model. The residual velocity in the simulation was found equal
to 147 m/s, while the corresponding velocity in the experiment was
161 m/s [3]. The plastic zone extends about 10 mm out from the
edge of the projectile (as in the tests). Fig. 12 shows a direct com-
parison of the cross-section from a test and simulation using the
full MJC model at an impact velocity close to the ballistic limit of the
25 mm thick plate. These figures show that the physical behavior of
the target during perforation is well captured in the FE simulations
when the full MJC model is used.

In the next set of simulations, the ballistic limit velocity of all
targets were determined when neglecting both strain rate sensitivity
and temperature softening in the MJC constitutive relation (i.e. C¼ 0
in Eq. (15) and c¼ 0 in Eq. (16)). Thus, only non-linear strain hard-
ening (see Table 1) was present in the constitutive relation, and the
material behavior is identical to the one used in CCET calculations
given by Eq. (6). The ballistic limit velocities were determined based
on eight runs for each target thickness using the numerical models
described in Section 4.3, and the results are plotted in Fig. 13. It is as
seen hard to distinguish the CCET and FE results, except for a small
deviation of 2% for the thickest target. Based on these results it may
be concluded that CCET calculations and FE simulations give similar
results as long as the conditions are identical (i.e. identical material
input, rigid projectiles, minor global deformations and inertia effects,
and failure dominated by ductile hole growth).

In the final set of simulations, the ballistic limit velocities of the
targets were determined using the full MJC constitutive relation. The
ballistic limits were found based on a number of runs using the
method described above, with the material constants given in Table 1
for the various thicknesses. Fig.14 gives a comparison between initial
vs. residual velocity curves from FE simulations and experimental
thick target with 100 elements over the plate thickness. The modeled pin-hole with
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tests [3]. The agreement is in general very good with a maximum
deviation of 5%. The ballistic limits from FE simulations are plotted in
Fig. 13, where they are compared to ballistic limits obtained experi-
mentally and by CCET calculations. The trend is as seen correctly
predicted both by FE analysis and CCET when the strength is taken as
function of target thickness. However, both methods tend to over-
estimate the capacity of the target plates, but the FE results using the
full MJC model are closer to the experimental data.

5. Comparisons and discussions

As seen from Fig. 13, the experimental trend is correctly pre-
dicted both by FEM and CCET. However, an offset between the
Fig. 11. Sequence of plots showing perforation of a 25 mm thick AA5083-H116 plate as frin
methods that seems to increase slightly with plate thickness is
present. There are four major differences between FE simulations
using the full MJC model and CCET calculations. While FEM includes
strain rate hardening, temperature softening, inertia forces and
global target deformation, these effects are not accounted for in the
CCET model. From the FE simulations presented in Fig. 10 using
different versions of the MJC model, it is clearly seen that the effect
of temperature softening is substantial while the effect of strain
rate hardening is minor. It was also shown in Fig. 13 that when the
effects of strain rate and temperature in the FE simulations were
neglected, FEM and CCET gave almost identical results. The effect of
inertia in CCET calculations have e.g. been studied in Refs. [15,43].
However, it can be shown that this effect is minor for low velocity
penetration (since the inertia term is a function of the impact ve-
locity squared). Fig. 6 shows cross-sections of perforated plates at
impact velocities close to their respective ballistic limits (Børvik
et al. [3]). Even though some global bending deformation is seen for
the thinnest plate, this is not believed to be a major reason for the
obtained differences in perforation resistance. This assumption is
reasonable from the observation that the discrepancy is higher for
the 30 mm thick plate than for the other thicknesses. Thus, the
most important single factor for the difference between FEM and
CCET seems to be temperature softening. Fig. 1c further illustrates
that only a moderate increase in temperature gives a significant
effect on the stress–strain behavior of the aluminium alloy.

Thermal softening may implicitly be taken into CCET calcula-
tions using the Johnson–Cook constitutive relation presented in
Section 4.1. By inserting Eq. (17) into Eq. (15), and neglecting the
effect of strain rate hardening for this material, the constitutive
relation can be rewritten as

seq ¼
	

Aþ B3n
eq


�
1�

�
cWp

rCpðTm � TrÞ

�m�
(20)

where Wp is the plastic work per unit volume as given in Eq. (18).
Fig. 15 (left) shows the calculated equivalent stress–plastic strain

curve based on Eq. (20) and the material constants given in Tables 1
and 2 for a 25 mm thick AA5083-H116 plate. The curve is compared
to the corresponding isothermal curve where the effect of thermal
ges of accumulated plastic strain using the full MJC model (vi¼ 303 m/s, vr¼ 147 m/s).



Fig. 12. Comparison of cross-sections from test (left) and numerical simulation as fringes of accumulated plastic strain using the full MJC model (right) of a 25 mm thick AA5083-
H116 plate perforated by a steel projectile at impact velocities close to the ballistic limits.
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softening is neglected. Already at a plastic strain of about 0.55 the
thermal softening overcomes the strain hardening, and the slope of
the stress–strain curve turns negative. The temperature increase as
function of plastic strain is shown in Fig. 15 (right). At a plastic
strain of 1, the temperature increase is about 150 K (which is similar
to the temperature increase obtained in the corresponding
numerical simulation). This value will increase with increasing
target yield stress, strain hardening and strain rate hardening. The
material constants Y and n in the power-law hardening model in Eq.
(6) were then fitted to the adiabatic stress–strain curve calculated
based on Eq. (20). This procedure was followed for all plate thick-
nesses and the temperature affected Y and n values are given in
parenthesis in Table 1. These values were finally used to re-run the
CCET model given by Eqs. (8) and (14), and the results are plotted in
Fig. 13. Note that since the applied power-law hardening function in
the CCET model is not developed to take material softening into
account, the agreement with the adiabatic stress–strain curve is
only acceptable in the positive hardening regime. In order to take
thermal softening explicitly into the CCET model, the power-law
hardening function could have been replaced with the constitutive
relation for adiabatic processes proposed by Bai and Johnson [44].
However, such a constitutive relation would have required a com-
plete reformulation of the CCET model used in this study, and is
outside the scope of the present work.
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Fig. 13. Comparison between ballistic limit velocities obtained experimentally, by fi-
nite element simulations and by CCET calculations vs. target thickness.
When thermal effects are taken into account in CCET calcula-
tions using the simplified approach described above, the results
become closer to the FE simulations (within 5%). This strengthens
the assumption that the effects of global bending deformation
and inertia are of second-order importance in this particular
problem. For the thickest plate, however, a larger deviation be-
tween CCET and FEM is seen. In FE simulations, the width of the
plastic zone increases with target thickness [27]. Thus, the ther-
mal softening becomes stronger with plate thickness in FE sim-
ulations, so the larger deviation is reasonable. Recall also that all
tests at elevated temperatures used in this study were conducted
on specimens taken from the 25 mm thick plate [20]. It should
finally be noticed that all applied methods in general overpredict
the capacity of the target (i.e. give non-conservative ballistic
limits), which is important to keep in mind in the design of
protective structures.

Even though CCET and FEM are found to give similar predictions
in good agreement with the experimental results, a non-conser-
vative deviation of about 10% for CCET and 5% for FEM compared to
the experimental data is obtained. This rather small deviation may
be due to several reasons. First, all simulations assume axisym-
metric conditions, while the experimental tests show some petal-
ing towards the rear side of the target. Since axisymmetric
elements cannot describe radial cracking and petaling, a more re-
alistic failure mode might have been obtained using brick elements
(but then the CPU time would have increased considerably). Fur-
ther, the possible effect of material anisotropy is neglected and an
isotropic material model assuming a von Mises yield surface is
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applied. An anisotropic material model could have given a better
description of the material behavior, but at the cost of making the
identification of material constants a major task (see e.g. Grytten
et al. [45]). On the contrary, also in an earlier study on the perfo-
ration of aluminium panels using an isotropic material model,
excellent agreement with experimental data was obtained [42].
Further, the possible effect of negative strain rate sensitivity is
omitted in both approaches. Even though the strain rate and
temperature in projectile impact are much higher than the regions
where DSA normally appears, it cannot be precluded that this may
have affected the results. However, this is a topic for further
research. Finally, it is noteworthy that the material constants
governing strain hardening are solely based on stress–strain curves
to maximum plastic strains less than 0.3 and then extrapolated to
higher strains. The numerical simulations reveal that the effective
plastic strain in the cavity is much higher, i.e. of the order of 1.5–2.0.
This shows that there is a need for true stress–strain data to plastic
strains considerable higher than those available from the uniaxial
tensile tests to avoid extrapolation. For the considered alloy, the
uniaxial tensile test fails at a rather low strain due to a shear failure
mode [20]. Therefore, a material test program including fully
instrumented shear or compression tests to large plastic strains
would be desirable for calibration and validation of the constitutive
relations.
6. Conclusions

In this paper, an analytical model based on cavity-expansion
theory (CCET) has been reformulated and used to calculate the
ballistic perforation resistance of aluminium plates struck by con-
ical-nose steel projectiles. In addition, non-linear FE simulations
using LS-DYNA have been carried out. The target material was
modeled with the modified Johnson–Cook constitutive relation
using constant strain 2D axisymmetric elements and adaptive
rezoning. A pin-hole in the target was introduced to allow ductile
hole growth, so a fracture criterion was not necessary. The analyt-
ical and numerical results have been compared to each other and to
the experimental findings, and the various models have been
discussed.

It was found that the experimental trend is correctly predicted
both by FEM and CCET when it is recognized that the material data
vary with target thickness. It was also found that CCET calculations
and FE simulations give similar results as long as the conditions in
the models are identical. Finally, when material softening due to
thermal effects was taken into account in CCET calculations, FEM
and CCET gave similar results in good agreement with the experi-
mental data. However, all approaches were in general found to
overpredict the ballistic limit velocity of the target. Possible reasons
for the obtained discrepancy with the test data have been discussed
in some detail.
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